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Abstract
Tidal turbines operate in a highly unsteady environment, which causes large-
amplitude load fluctuations to the rotor. This can result in dynamic and fatigue
failures. Hence, it is critical that the unsteady loads are accurately predicted. A
rotor’s blade can experience stall delay, load hysteresis and dynamic stall. Yet,
the significance of these effects for a full-scale axial-flow turbine are unclear. To
investigate, we develop a simple model for the unsteady hydrodynamics of the
rotor and consider field measurements of the onset flow. We find that when
the rotor operates in large, yet realistic wave conditions, that the load cycle is
governed by the waves, and the power and blade bending moments oscillate by
half of their mean values. While the flow remains attached near the blade tip,
dynamic stall occurs near the blade root, resulting in a twofold overshoot of
the local lift coefficient compared to the static value. At the optimal tip-speed
ratio, the difference between the unsteady loads computed with our model and
a simple quasi-steady approximation is small. However, below the optimal tip-
speed ratio, dynamic stall may occur over most of the blade, and the maximum
peak loads can be twice those predicted with a quasi-steady approximation.
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Nomenclature
a Axial induction factor (-)
a′ Tangential induction factor (-)
AR Aspect ratio (-)
B Geometry constant (-)
b1 Rotational constant (-)
b2 Rotational constant (-)
c Chord length (m)
CpL Lift coefficient in attached flow
(-)
CuC Unsteady chordwise force coef-
ficient (-)
CuD Unsteady coefficient (-)
CuN Unsteady normal force coeffi-
cient (-)
CvN Vortex normal force coefficient
(-)
C indD Induced drag coefficient (-)
CstD Static drag coefficient (-)
CvisD Viscous drag coefficient (-)
CD Drag coefficient (-)
CL Lift coefficient (-)
CN Normal force coefficient (-)
CP Power coefficient (-)
CQ Torque coefficient (-)
CT Thrust coefficient (-)
CD0 Zero lift drag coefficient (-)
CrotD Rotational drag coefficient (-)
CFTan Tangential force coefficient (-)
CFT Thrust force coefficient (-)
CuL Unsteady lift coefficient (-)
CcL Circulatory lift coefficient (-)
CncL Non-circulatory lift coefficient
(-)
CrotL Rotational lift coefficient (-)
CMx Edgewise bending moment co-
efficient (-)
CMy Root bending moment coeffi-
cient (-)
CNα Linear normal force (lift) curve
(-)
CrotN Rotational normal force coeffi-
cient (-)
d Water depth (m)
Dα Lagged angle deficit (-)
Dff Lagged separation point deficit
(-)
E0 Chordwise force recovery con-
stant (-)
F Frequency (Hz)
f Separation point (-)
f ′ Lagged separation point (-)
f ′′ Lagged separation point (-)
f rot Rotational separation point (-)
FD Drag force per unit length
(Nm−1)
FL Lift force per unit length
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(Nm−1)
FT Thrust force per unit length
(Nm−1)
FTan Tangential force per unit
length (Nm−1)
K Axial inflow parameter (-)
K ′ Tangential inflow parameter (-
)
kr Reduced frequency (-)
L Aerodynamic loss factor (-)
L2 Least squares error (-)
Mx Edgewise bending moment
(Nm)
My Root bending moment (Nm)
Nb number of blades (-)
P Power (W)
Q Torque acting on actuator disc
(Nm)
R Blade tip radius (m)
r˙ Reduced pitch rate constant (-)
r Blade radial coordinate (m)
Rh Blade hub radius (m)
s Reduced time (-)
T Thrust force acting on actuator
disc (N)
t Time (s)
Tr Period of rotation (s)
Tv Vortex time lag constant (-)
Tα Angle time lag constant (-)
TvL Vortex transit time (-)
U0 Freestream reference velocity
(ms−1)
Uψ Tangential velocity to blade
(ms−1)
Ux Streamwise velocity (ms
−1)
Uz Depthwise velocity (ms
−1)
Vx Vortex shape function (-)
W Relative inflow velocity (ms−1)
x Horizontal Cartesian coordi-
nate (m)
y Horizontal Cartesian coordi-
nate (m)
z Vertical Cartesian coordinate
(m)
z0 Depth of rotor hub (m)
α Angle of attack (rad)
α′ Lagged angle of attack (rad)
αrot Rotational angle of attack
(rad)
α0 Angle of zero lift (rad)
αcr Critical angle (rad)
αds0 Critical dynamic stall onset an-
gle (rad)
αds Angle of dynamic stall onset
(rad)
αss Angle of static stall (rad)
α˙ Pitch rate (rads−1)
α0 Zero lift angle of attack (rad)
αE Equivalent angle of attack
(rad)
β Pitch angle (rad)
βg Geometrical pitch angle (rad)
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βp Operational pitch angle (rad)
∆rotα Rotational angle shift (rad)
∆α1 Stall angle shift (rad)
η Chordwise force recovery fac-
tor
λ Tip-speed ratio (-)
λ′r Local instantaneous tip-speed
ratio (-)
Ω Rotor rotational speed
(rads−1)
Φ Wagner’ function (-)
φ Flow angle (rad)
ψ Azimuthal position of blade
(rad)
ρ Density of working fluid
(kgm−3)
σ Dummy time variable of inte-
gration (s)
σ′r Local solidity (-)
τ Vortex transit time (-)
θ Phase angle of blade (rad)
ADCP Acoustic Doppler Current Pro-
filer
BEM Blade element momentum
D-ADP Divergent beam Acoustic
Doppler Profiler
DS Dynamic stall
EMEC European Marine Energy Cen-
tre
LCOE Levelised cost of energy
OSU Ohio State University
ReDAPT Reliable Data Acquisition
Platform for Tidal
SB-ADP Single-beam Acoustic
Doppler Profiler
SWL Still water level
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1. Introduction
Tidal current energy extraction is approaching a state of commercial readi-
ness. Six full scale tests have been completed at the European Marine Energy
Centre (EMEC), as well as several others elsewhere [1]. To date, the Crown
Estate have issued 17 leases for tidal current energy extraction in Scottish wa-
ters, 9 of which are in the Pentland Firth [1], which according to one estimate
has an estimated maximum power output of 1.9 GW [2]. Yet, questions remain
regarding the performance and long-term survivability of a horizontal axis tidal
turbine rotor operating in a harsh marine environment [3].
The marine environment is inherently unsteady due to waves and turbulence.
The rotation of the blade through the shear layer of the tidal current and the
unsteady flow causes a time-dependent flow field which can lead to unsteady
flow phenomena such as load hysteresis, stall delay and dynamic stall. Stall
delay is a process whereby the angle of attack increases sufficiently rapidly
so that separation is prevented beyond the static stall angle, which causes lift
increases above the maximum static value. Dynamic stall (DS) is when unsteady
separation and stall occurs, resulting in a hysteresis loop of the lift with the
angle of attack. If the angle of attack becomes large enough, dynamic stall may
induce vortex shedding from the leading-edge of the blade. The convecton of
the leading-edge vortex over the blade surface can produce load overshoots of
100% or more above the quasi-steady value [4]. These effects compounded with
rotational forces and velocities induced by the dynamic wake behind the rotor
make for a highly unsteady operational environment.
A probability analysis from 2012 investigated the survivability of a horizon-
tal axis tidal turbine rotor using data extrapolated from similarly rated wind
turbines [5]. The study estimated the reliability of tidal turbine blades would
result in one failure every two years per turbine. Technology developers con-
tinue to improve devices. However, it is difficult to know the current state of the
technology since failure rate data for full-scale devices is commercially sensitive.
Certification standards for tidal turbine blades state that the nominal proba-
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bility of failure per year should be under 10−4 [6]. A lack of quantifiable data
relating to fatigue and extreme loading could lead to over conservative designs
being produced in order to meet the standards, which will impact the levelised
cost of energy (LCOE) and the roll-out-rate of technology.
Milne et al. [7] carried out experiments on a scaled turbine in a towing tank.
The turbine was towed at a uniform speed whilst oscillating the external carriage
on which it was mounted, replicating the type of unsteadiness caused by waves
and large scale turbulence. At lower tip-speed ratios, they showed that the
flow was largely separated over the entire blade span, which for high frequency
forcing caused the root bending moment coefficient to exceed the quasi-steady
value by up to 25%. In a later study Milne et al. [8] found that in attached flow
the root bending moment fluctuations increased with frequency, which could
exceed the steady value by 15%. In a further study, Milne et al. [9] reported
that at lower tip-speed ratios, the flow would be separated over most of the
blade span, which for high frequency forcing caused the root bending moment
to exceed the quasi-steady value by up to 25%. Hysteresis was found in the
root bending moment time history with instantaneous tip-speed ratio, in which
the authors were able to qualitatively highlight the key stages of dynamic stall
occurring. This indicates that severe unsteady conditions may lead to dynamic
stall occurring over much of the blade eliciting overshoots in the global loadings
(e.g. the root bending moment). Galloway et al. [10] tested the effects of a yaw
misalignment and waves using a wave tank to generate linear waves. Results
were compared using an in house blade-element momentum (BEM) code, which
included the Boeing-Vertol DS model and a dynamic inflow correction. The
experimental results showed that the median value of the root bending moment
was exceeded by up to 175% during the presence of large waves. Comparison
between the results and the model were mixed with better prediction achieved
for cases without yaw. The authors concluded that the effect of DS was limited
and, therefore, can be neglected in some cases, despite not making comparison
with quasi-steady values. These results are not in agreement with Milne et al
[9].
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Maganga et al. [11] carried out experiments on a 1/30 scale model in a
flume tank. They adjusted the turbulent intensity of the flow using honeycomb
flow straighteners. Their results indicate that for a mean flow velocity of 0.8
ms−1 increasing the freestream turbulent intensity from 8% to 25% caused a
reduction in the mean thrust and power. Chamorro et al. [12] investigated
how coherent turbulent structures affect the power of a scale turbine 0.5 m in
diameter. Cylinders of varying size were placed upstream of the rotor, which
were shown to alter the structure of the streamwise velocity spectra in the low
frequency range. Their results found that for larger cylinders the turbine power
was modified in the same frequency range. Blackmore et al. [13] developed
a method of using static grids to generate turbulence in a flume of varying
turbulent intensity and length scale. They used the set up to investigate the
effects of turbulence on the performance of a 1/20 scale turbine. For an increase
in turbulence intensity from 7% to 14% they observed a 10% decrease in the
mean power and thrust, which concurs with Maganga et al. [11]. Conversely,
the authors found that increasing length scale led to an increase in both the
mean power and thrust.
Other than the work of Milne et al. [9], no documentation of DS occurring
on tidal turbine blades exists. Yet, it is known to occur on all type of horizontal-
axis wind turbines where skewed flow, shear, turbulence or tower shadow effects
are present [14]. Since tidal turbine blades will also experience these effects with
the addition of waves, it is likely that dynamic stall occurs. In addition, the
difference between the mean value and the steady state has yet to be quantified.
To date, unsteady flow on the rotor power and thrust has been confined to
flow oscillations due to turbulence and has yet to be quantified for onset flow
dominated by waves. Understanding the unsteady flow around the blade and the
resulting unsteady loads is of paramount importance to improve the reliability of
tidal turbines without over-engineering components and increasing the LCOE.
Moreover, detailed knowledge of the unsteady loads will enable the development
of novel technology to mitigate the fatigue loadings and enhance the durability
of tidal turbines [15, 16].
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The aim of this work is to answer the following research questions:
1. How significant are the unsteady effects of very large, realistic waves on the
flow around and the loads on a tidal turbine blade?
2. How important is modelling the unsteady dynamics as opposed to using a
simpler less computationally intensive quasi-steady approximation?
To answer these questions a model is developed which couples state-of-the-art
BEM, DS and rotational augmentation models with velocity field measurements
taken at the EMEC test site during the ReDAPT project [17]. The model is
freely available for use and can be downloaded from our GitHub repository
[18]. We find that waves induce unsteady load phenomena ranging from low
amplitude hysteresis at the outer sections to highly non-linear overshoots near
the blade root, the significance of which is discussed in detail.
This paper is laid out as follows. In Section 2 (Field data measurements),
we discuss how the velocity field measurements were made. In Section 3 (Tur-
bine specification), we introduce the specification of the tidal turbine used in
the model. In Section 4 (Formulation of the model), the formulation of the
model and the solution method are given in detail. In Section 5 (Validation of
the model), the key components of the model are validated. In Section 6 (Case
study), the flow sample is introduced and the unsteady characteristics investi-
gated. In Section 7 (Results), the predicted loads, power and bending moments
predicted by the model are presented and discussed. Finally, in Section 8 (Con-
clusions), the main outcomes from this work are summarised.
2. Field data measurements
Data used herein was acquired during field measurement campaigns con-
ducted by the University of Edinburgh at the EMEC tidal test site during the
ReDAPT project between 2011 and 2015. Environmental data acquired up to
October 2014 is publicly available at the UKERC Energy Data Centre in an
archival format [19].
The instrumentation layout on and around the operating commercial proto-
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type DEEPGen IV turbine is shown in Figure 1, where coordinates are given
in terms of the rotor diameter (D) which is 18 m. Time series of the free sur-
face elevation were acquired using a remotely operable, Single-Beam Acoustic
Doppler Profiler (SB-ADP) orientated in the vertical direction targeting a fixed
point in space directly above the rear of the turbine. Using the vertically ori-
entated SB-ADP, sea surface elevation was inferred from amplitude backscatter
measurements, exploiting the strong reflection from the water-air interface, at
a sample rate of 4 Hz using image processing techniques. Results have been
validated against an industry standard wave-measurement technique which is
fully discussed in Sellar et al. [20].
-2.5D
-5.0D
1D
45m
SWL
bed
D-ADP1
D-ADP2
SB-ADP
DEEPGen IV
1D
2.5D
≈1D
-2.5D
2.5D
Figure 1: Schematic diagram of the measurement instrumentation and layout on and around
the DEEPGen IV turbine.
Depth profiles of velocity measurements were provided by seabed mounted
Divergent beam Acoustic Doppler Profilers (D-ADP), commonly referred to as
Acoustic Doppler Current Profilers (ADCP). The D-ADPs were deployed on
the port and starboard sides of the turbine, approximately in line with the
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rotor plane, and at a distance of 43 m and 41 m for D-ADP1 and D-ADP2,
respectively. High-accuracy instrument positioning (error less than 1 m rela-
tive to the turbine) was achieved via deployment assistance from an remotely
operated vehicle. The deployment installation positions adhered to the recom-
mendations in International Electrotechnical Commission Technical Specifica-
tion 62600-200:2013 [21]. These are described in more detail in both Sellar et
al. [20] and McNaughton et al. [22].
3. Turbine specification
The dimensions of a 3-bladed, 1 MW tidal turbine representative of the
Tidal Generation Ltd. DEEPGen IV device deployed at the EMEC test site
during the ReDAPT project are used. Schematic views of the port and front
sides of the turbine are shown in Figure 2. A Cartesian coordinate system is
placed at the still water level (SWL). The freestream current velocity is in the
x direction, y is the port side direction and z is the vertical coordinate positive
above the SWL. A cylindrical coordinate system with origin at the hub describes
the radial (r) position along the blade, which extends to tip (R = 9 m), and the
azimuthal angle of the blade (ψ), which tracks the position of the blade as it
rotates anti-clockwise from the z axis where ψ = 0. Also shown are the radius
of the hub (Rh), the water depth (d) and the distance from the hub to the SWL
(z0).
Chord (c) and geometrical twist (βg) distributions along the blade span,
which have been taken from Gretton [23], are shown in Figure 3.
The original blade profile has a non-uniform thickness and comprises of
NACA 63-4XX geometries, where XX denotes the maximum camber thickness
of each section in relation to c. To simplify we assume that all profiles have a
uniform thickness, and to aid the modelling of DS we replace the NACA profile
with a NREL profile since a large database of empirical dynamic stall param-
eters are availble for a series of NREL aerofoils [24]. The NREL S814 profile
which has a thickness of 24% provides a similar power coefficient to the NACA
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ψr
z
y
z
x
Rh
R
d
z0
SWL
Figure 2: Schematic diagram of the commercial-scale tidal turbine (not to scale).
63-418 profile, so will be used throughout.
4. Formulation of the model
The model is split into three components: determination of the angle of at-
tack, dynamic load coefficients and rotational augmentation, which are coupled
as detailed in this section.
4.1. Angle of attack time history
The velocity and force components acting on a blade section are computed
as shown in Figure 4(a) and (b), respectively. The relative velocity (W ) is
the difference between the axial velocity Ux(1− a) and the tangential velocity
Uψ(1 + a
′), where a and a′ are the axial and tangential induction factors re-
spectively, which account for velocities induced by the rotor wake. The angle
of attack (α) is the angle that W makes with c, β = βg + βp is the pitch angle
which is measured between c and the rotor plane, where βp is an operational
pitch angle which may be applied to the blade. The flow angle is φ = α+ β.
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Figure 3: Blade chord and twist radial distribution (from [23]).
β
α
x (1-a)
c
rotor plane
Uψ (1+a')
FL
FT
FDFTan
(a) (b)
φ
φ
Figure 4: Blade section diagram showing (a) velocity components and (b) force components.
The sectional drag force (FD) which is codirectional with W and the lift
force (FL) perpendicular to it are defined per unit length as
FD =
1
2
CDρW
2c, FL =
1
2
CLρW
2c, (1a, b)
where CD and CL are the sectional coefficients of drag and lift, respectively and
ρ is the fluid density. The axial force known as thrust (FT ) is perpendicular
to the rotor plane and is responsible for the blade bending around the y-axis
known as root bending moment (My). The tangential force (FTan) drives the
turbine and causes bending around the x-axis referred to as edgewise bending
moment (Mx). FT and FTan, expressed in terms of FD and FL, are
FT ≡ FL cosφ+ FD sinφ, (2)
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FTan ≡ FL sinφ− FD cosφ, (3)
which given in coefficient form are
CFT ≡ CL cosφ+ CD sinφ, (4)
CFTan ≡ CL sinφ− CD cosφ. (5)
Measured D-ADP velocity data is interpolated in time (t) and z to determine
the horizonal velocity in x and the vertical velocity components incident on
to each blade section for a given t. The z-coordinate of a blade section is
z0 + r sin(ψ − θ), where θ is the phase lag from the leading blade, and Uψ =
Uz cos(ψ − θ).
The induction factors are initially calculated in a quasi-steady manner for
one revolution using the instantaneous velocities with static CL and CD values
to solve the BEM equations [25]. The hydrodynamic forces are equated to the
momentum rate of change acting on a blade annulus of width dr and position
r on the blade, as shown in Figure 5.
rdr
Figure 5: Incremental annulus swept out by a blade element.
The blade-element equations are defined as
dT = Nb
1
2
ρW 2CFT cdr, (6)
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dQ = Nb
1
2
ρW 2CFTancdr, (7)
where dT and dQ are the incremental thrust and torque components acting on
the annulus and Nb is the number of blades. The momentum balance equations
for dT and dQ are
dT = 4pirρU20 (1− a)aLdr, (8)
dQ = 4pir3ρU0Ω(1− a)a′Ldr, (9)
where Ω is the rotational velocity of the rotor and L corrects for losses due to
flow leakage at the extremities of the blade where a jump in tangential velocity
occurs, causing the flow to roll up into a trailing helical vortex. L is determined
using Prandtl’s correction for both tip and hub losses [25]. Equations (8) and (9)
are invalid for high induction (a > 0.4); in this region the empirical estimation of
Glauret is used with the Buhl correction [26]. The blade-element and momentum
equations are equated and rearranged to give the following implicit definitions
for a and a′:
a =
K
1 +K
, a′ =
K ′
1−K ′ , (10a, b)
where
K =
σ′CFT
4L sin2(φ)
, K ′ =
σ′CFTan
4L sin(φ) cos(φ)
, (11a, b)
and σ′ = Nbc/2pir is the local solidity. Equations (10)a and b are be solved
iteratively. First, an initial guess is made for φ, from which β is deducted to
give α, then the coresponding values of CL and CD are selected from look-up
tables then, lastly, CFT and CFTan are determined. The present model uses the
solution method of Ning [27], who utilises a residual equation to converge on φ
rather than solving for both a and a′. This enables the use of a root finding
algorithm which guarantees convergence. Using the geometrical definition for φ
shown in Figure 4(a), the following residual equation is formed
R(φ) =
sin(φ)
(1− a) −
cos(φ)
λ′r(1 + a′)
, (12)
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where λ′r = Uψ/Ux is the instantaneous, local tip-speed ratio. The value of φ
which satisfies R(φ) ≤ 10−6 is determined and used in the following iteration.
The process is repeated until R(φ) ≤ 10−6. With the induction factors deter-
mined for each time step, these are time averaged over the rotational period
(Tr). The solution to a at time ti is
a =
1
Tr
∫ ti
ti−Tr
a(t) dt, (13)
and we follow the same procedure for a′. Next, α time histories are calculated
for each r as follows
α(t) = tan−1
(
Ux(t)(1− a)
Uψ(t)(1 + a′)
)
− β. (14)
4.2. Dynamic load coefficients
The non-linear load coefficients are determined using the dynamic stall model
of Sheng et al. [28]. This DS model is based on the 3rd generation dynamic
stall model of Beddoes [29], but with a number of adaptations made to achieve
better prediction at the lower Mach numbers associated with wind turbines.
We modify the model to account for the effects of blade rotation and use the
definition for the unsteady drag coefficient given by Hansen et al. [30].
The total unsteady load response comprises of three elements: attached flow,
trailing edge separation and leading edge vortex shedding, which we will now
discuss.
4.2.1. Load response in attached flow
The linear lift coefficient comprises of both circulatory and non-circulatory
components. The latter accounts for flow acceleration effects, and the former
for circulation around the foil and vorticity shed into the wake. Theodorsen [31]
showed that this cirulatory component introduces a phase lag and amplitude
reduction in the lift from the quasi-steady value. Sheng et al. determine the
linear solution using a method developed by Beddoes [29], who considers com-
pressibility effects. However, for a tidal turbine the maximum Mach number is
approximately 0.03, which occurs at the blade tip and is an order of magnitude
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less than the compressible range. Thus the attached loads are determined using
the incompressible time domain solution of Wagner [32], who gives the circula-
tory lift coefficient (CcL) due to a unit step change in α. The C
c
L time history
for a number of arbitrary unit step changes in α is determined by superposition
through the Duhamel integral as follows:
CcL = 2piαE , (15)
where the equivalent angle of attack that lags the physical α is
αE = α(0)Φ(s) +
∫ s
0
dα(σ)
ds
Φ(s− σ)dσ, (16)
Φ(s) is the Wagner function, its argument s = 2U0t/c is the non-dimensional
reduced time, U0 is the freestream velocity and σ is a dummy time variable
of integration. Wagner does not give a convenient analytical solution to Φ(s).
Therefore, the following exponential approximation given by Jones [33] is used
Φ(s) ≈ 1− 0.1652e−0.0455s − 0.335e−0.3s. (17)
The non-circulatory coefficient (CncL ), i.e. the added mass, is treated outside of
the Duhamel integral. For this term we use the approximation given by Hansen
et al. [30], where
CncL =
picα˙
2U0
, (18)
where
α˙ =
dα
dt
. (19)
Then the full lift coefficient in attached flow is
CpL = C
c
L + C
nc
L . (20)
For an arbitrary α forcing, (15) and (18) are determined numerically.
4.2.2. Load response in separated flow
The first part of the non-linear solution is the load response in separated flow.
To quantify this, Kirchhoff theory [34, p. 170] is used, which relates the position
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of the trailing-edge separation point to the static normal force coefficient CN .
The separation point coordinate x is normalised by the chord length (c) giving
a non-dimensional separation point f , as illustrated in Figure 6. When the
boundary layer is fully attached, f = 1, and when fully separated, f = 0.
f = x/c
W
Viscous wake
cx
Figure 6: Trailing-edge separation point described by Kirchhoff flow past a flat plate.
The relationship between CN , α and f is
CN = CNα(α− α0)
(1 +√f
2
)2
, (21)
where CNα =
dCN
dα |α0 is the slope evaluated at the angle of zero lift (α0). Equa-
tion (21) is rearranged to solve for f using static CN wind tunnel test data
[35]. Then, f is determined for any α using a look-up table. Under unsteady
conditions, boundary layer separation is delayed to a higher value of α. We can
model this angle (α′) as a first-order lag in the s domain, namely
dα′
ds
= − (α
′ − α)
Tα
, (22)
where Tα is an empirical non-dimensional time constant describing the angle of
attack delay. The solution for α′ is
α′ = α(1− exp(−s/Tα)). (23)
For arbitrary forcing the exponential decay is modelled numerically with a deficit
function Dα such that
α′ = α−Dα. (24)
Then numerically
Dαj = Dαj−1 exp (
∆s
Tα
) + (α
j
− α
j−1) exp (
∆s
2Tα
), (25)
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where j denotes the current time step. With α′ determined, the dynamic sep-
aration point f ′ is found using the look-up table and replacing α as follows
f ′(α) = f(α′ −∆α1), (26)
where ∆α1 is a shift delay from the static stall angle (αss).
4.2.3. Dynamic stall onset
The critical dynamic stall onset angle is defined
αcr =
 αds0, r˙ ≥ r˙0αss + (αds0 − αss) r˙r˙0 , r˙ < r˙0, (27)
where r˙ = α˙c/2U0, is the reduced pitch rate, r˙0 is the value of r˙ above which
αcr increases linearly and αds0 is the constant dynamic stall onset angle.
The shift delay from αss is evaluated is evaluated in a similar manner
∆α1 =
 αds0 − αss, r˙ ≥ r˙0(αds0 − αss) r˙r˙0 , r˙ < r˙0. (28)
Then stall onset occurs when
α′ ≥ αcr. (29)
4.2.4. Dynamic stall load response
After the onset of dynamic stall an additional lag in the separation point
occurs, as the leading edge vortex forms causing an additional load overshoot.
As with α′ a first-order lag is implemented to determine the dynamic separation
point (f ′′)
df ′′
ds
= − (f
′′ − f ′)
Tv
, (30)
where Tv is the non-dimensional vortex time constant which includes both the
formation and convection time. The solution is again modelled with a deficit
function (Dff) which describes the lag due to the dynamic vortex as
f ′′ = f ′ −Dff , (31)
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with Dff solved numerically as
Dffj = Dfj−1 exp (
∆s
Tv
) + (f ′j − f ′j−1) exp (
∆s
2Tv
). (32)
Vortex shedding follows the method of Beddoes [29], which uses a vortex
shape function (Vx) defined as follows:
Vx =

sin3/2
(
piτ
2Tv
)
, 0 < τ ≤ Tv
cos2
(
pi(τ−Tv)
TvL
)
, Tv < τ,
(33)
where τ is the non-dimensional vortex passage time (scaled the same as s) which
increases from zero at the onset of dynamic stall, and TvL is the speed of the
vortex convection. Subsequent vortex shedding occurs for τ > Tv until the
foil starts pitching down (r˙ < 0) and Vx is set to zero. The additional lift
contribution due to vortex shedding is then computed as the difference between
the delayed and the static separation points multiplied by the shape function
CvN = B(f
′ − f)Vx, (34)
where B is a constant dependent on aerofoil geometry.
4.2.5. Non-linear force coefficients
The final expression for the normal force coefficient CN is
CuN = C
c
N
(1 +√f ′′
2
)2
+ CncN + C
v
N . (35)
The expression for the chordwise force coefficient is
CuC = ηCNα(αE − α0)2(
√
f ′ − E0), (36)
which has no contribution from the vortex. The parameters η and E0 are both
dependent on the sectional geometry. The lift coefficient is then
CuL = C
u
N cos(α) + C
u
C sin(α). (37)
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In the model of Sheng et al. [36] the drag coefficient is defined as
CuD = C
u
N sin(α)− CuC cos(α) + CD0, (38)
where CD0 is the drag coefficient at α0. However, this definition does not bound
CuD to the static drag curve. Therefore, we instead use the definition provided
by Hansen et al. [37], which is expressed as three terms
CuD = C
st
D + C
ind
D + C
vis
D , (39)
where
C indD = C
u
L(α− αE), (40)
and
CvisD = (C
st
D − CD0)
(1 +√f ′′
2
)2
−
(1 +√f(αE)
2
)2
, (41)
where CstD is the static drag coefficient determined from wind tunnel test data
[35]. The three terms on the right hand side of (39) are the static, induced and
viscous components, respectively. CvisD is zero when the flow remains attached
since f ′′ = f(αE), and under near steady conditions C indD → 0 as αE → α.
The empirical parameters for the NREL S814 are shown in Table 1. They are
taken from [24], with slight modifications made using the Ohio State University
(OSU) wind tunnel test data [35].
4.3. Rotational augmentation
Rotation of the blades induces a centrifugal force which causes a spanwise
flow and an apparent Coriolis force which accelerates the flow towards the trail-
ing edge. These effects reduce the adverse pressure gradient to promote flow
reattachment and delay separation, which in turn leads to lift augmentation
from the stationary value [38]. Modelling techniques of this phenomenon have
had mixed success. The NREL Phase VI test investigated the effects of both
unsteadiness and rotation on a 10 m diameter wind turbine employing NREL
S809 profiles [39]. The study found that for inboard blade sections both lift
and drag force are augmented compared to a non-rotating blade. However, con-
versely, for outer blade sections, both lift and drag are reduced. Modeling this
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Table 1: Table of empirical parameters for the NREL S814.
αds0 0.2426
αss 0.2007
α0 -0.0573
CD0 0.01
CNα 6.267
E0 0.1
η 1
r˙0 0
Tα 6.33
Tv 4
TvL 6
B 0.5
b1 0.5
b2 0.5
behavior is a challenge. Breton et al. [40] tested the prediction capabilities of
a number of rotational augmentation models to predict the NREL Phase VI
test data. Their study determined that none of the models could satisfactorily
predict CL and CD across the entire blade span, and that only the Lindenburg
model [41] successfully captured a reduction in CL at the outer sections. The
Lindenburg model is well-suited to combination with the DS model since both
use the separation point parameter f . To this end, we implement Lindenburg’s
model and combine it with the DS implementation.
The expression for the rotational lift coefficient is
CrotL = CL +
b1c
r
cos2(φ)((1− f)2 cos(αrot) + b2 cos(αrot − α0)), (42)
where b1 and b2 are empirical coefficients tuned to the NREL S809 using data
from the NREL VI tests, which we will use in our model, and αrot = α+ ∆αrot
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is the equivalent rotational angle of attack with the following shift applied
∆αrot =
b1b2c
2pir
cos2(φ). (43)
At the outer sections (r ≥ 0.8R) where a reduction from the non-rotating lift
and drag values occur CrotL is given as
CrotL = CL −
(cos2(φ) exp(−1.5AR)CL(CNα(α− α0)− 1)
CNα(α− α0)
)
, (44)
where AR is the aspect ratio of the outboard blade element. Lindenburg defines
the rotational drag coefficient (CrotD ) at all sections as
CrotD = CD
b1c
r
cos2(φ)(1− f)2 sin(αrot), (45)
The NREL phase VI results clearly show a reduction in the drag coefficient at
the outer sections of the blade [39]. Therefore the present model will assume
for r ≥ 0.8R, that CrotD = CD to avoid an over-prediction.
Using Lindenburg’s theory we modify the DS model to superimpose rota-
tional augmentation on both CuL and C
u
D. This is implemented by first modifying
the separation point such that it is also a function of r by determining CrotN for
each section and replacing CN in (21) to determine f
rot for each r. Then a
look-up table is used to determine f rot in terms of both α and r. Then f in
(26) and (34) is replaced with f rot. Lastly, we apply the angle shift given by
(43) to both the static stall angle αrotss = αss + ∆α
rot, and the critical dynamic
stall onset angle αrotds0 = αds0 + ∆α
rot.
4.4. Coupled blade-element momentum model
The unsteady, rotational load coefficients are coupled with the BEM model
to investigate the effect on the induction factors; something which has not pre-
viously been reported in the literature.
Due to hysteresis and non-linearities, CuL(t) and C
u
D(t) are non-unique for a
given α. This is a problem for the BEM model which requires predefined values
of CL and CD for a given α. To accomodate this, C
u
L(t) and C
u
D(t) are collected
from the previous time steps over the period of revolution, sorted into α bins,
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and the mean value calculated for each bin. A smoothing spline is then applied
to the points to achieve a continuous set of values. After this the Viterna deep
stall extrapolation [42] is applied. This extends the coefficients α range between
−pi and pi, which is a numerical requirement of the BEM model. The look-up
tables, containing unique values of CuL(α) and C
u
D(α) for each r are then passed
to the BEM model. New values of a and a′ are determined and fed back into
the numerical model, coupling the unsteady response with the induction factors.
The solution is iterated until the sum of the squares error over r, L2 ≤ 10−6 ,
where
L2 =
R∑
r=Rh
(∆a)
2
, (46)
here ∆a is the difference between the current and the previous value.
A flow diagram is shown in Figure 7 which illustrates the key stages and
logic of the numerical model. The initial conditions first determine Ux and
Uψ as previously described, then solve a and a
′ for the first rotation using
the static coefficients. After this α and the subsequent unsteady, rotational
coefficients are calculated. The coefficients are then transformed into CuL(α)
and CuD(α), enabling the BEM model to solve the new induction factors at each
time step, which are then time averaged and fed back into the coupled model
until convergence is satisfied. After which time increases by an increment ∆t,
and the converged solution becomes the new initial condition. The process
continues until the time history is complete.
5. Validation of the model
We validated the key components of the numerical model. First the BEM
implementation is used to predict values of power (CP ) and thrust (CT ) coeffi-
cients, respectively. The power coefficient is defined as
CP =
P
1
2ρ〈U3x〉A
, (47)
where A is the area swept by the rotor and the angle brackets indicate the
double average over t and A. The rotor power P for a turbine with three blades
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is defined as
P = Ω
3∑
j=1
Qj , (48)
where j denotes the blade index and Qj is the torque on blade j, which is
Qj =
∫ R
0
FTanj r dr. (49)
The thrust coefficient is defined as
CT =
T
1
2ρ〈U2x〉A
, (50)
where the thrust force, T is defined as
T =
3∑
j=1
FTj . (51)
The predicted values for range of tip-speed ratios (λ = ΩR/U0) ∈ {0.5, 8}, are
compared to those predicted using AeroDyn, an opensource aerodynamic soft-
ware developed by NREL, which also uses the theoretical BEM implementation
of Ning et al. [43]. The turbine employs uniform thickness NREL S814 profiles
at each section, the flow is steady with a current velocity of 2.77 ms−1, the
rotor is normal to the flow and βp = 0. The results are shown in Figures 8(a)
and 8(b) for CP and CT , respectively. The predicted values of CP are in very
good agreement with that of AeroDyn up until λ = 5, after which the value
is slightly under predicted compared to AeroDyn, although both have similarly
decreasing slopes. The predicted values of CT agree well across the full range,
apart from a slight over prediction for λ ∈ {4, 5}. These results verify that the
BEM implementation is performing as expected.
Next, the predictive capabilities of the DS model are tested. The relationship
between CL and α for the S814 aerofoil is shown in Figure 9 for a number of
cases. Empirical values from the OSU wind tunnel tests are shown for the
measured static and dynamic cases [35]. Predicted values are shown for the
dynamic case, and for both the static and dynamic cases with the effect of
rotational augmentation. The forcing is α = 13.8◦ + 10.75◦ sin(ωt) , the reduced
frequency, defined kr = 2piωc/W is 0.091 and for the rotational case, r = 0.47R.
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The dynamic model predicts the value of CL when pitching positively from
around 3◦ to 18◦ very well compared to the measured dynamic data, and the
shape of the load hysteresis matches qualitatively.
The model predicts the increase in lift at around 18◦ caused by vortex shed-
ding, as well as the partial recovery from stall at around 23◦ due to a secondary
vortex being shed. During the return from stall, when α is decreasing the model
overpredicts CL. Prediction in this region could be improved by including an
additional component to model the return from stall, something which Sheng
et al. discuss in [28]. However, the accuracy is satisfactory to address the
research questions in this paper, and is therefore, not included.
The modification made to combine the effects of DS with rotational augmen-
tation cannot easily be validated since no dynamic rotational data exists for the
NREL S814. However, a qualitative comparison can be made using the NREL
Phase VI experimental data for the S809. Figure 10 which has been reproduced
from Guntur et al. [44] shows the lift coefficient curve for a pitching NREL S809
foil for the rotational and non rotational cases. Here kr is 0.1 and the location
along the blade is also 0.47R. The difference between the non-rotational and
rotational curves for the S809 matches qualitatively with the difference between
modelled dynamic and dynamic rotational curves for the S814 shown in Figure 9.
The rotating foil generates a larger value of CL, with a prominent increase due
to vortex shedding visible from 17◦ to 19◦. During the return from stall the
value of CL is approximately 50% greater for the rotational case. This confirms
that dynamic lift is enhanced by rotational augmentation, and the severity, in
terms of the area enclosed by the hysteresis is reduced.
The DS model agrees well quantitatively for increasing α, and captures qual-
itatively the hysteresis shape and transient vortex shedding which characterises
dynamic stall. The qualitative agreement with the rotational data for the NREL
S809 suggests that the modification is sufficient to superimpose the effect of ro-
tational augmentation on the unsteady loading.
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6. Case study
In this study, a 256 s flow sample measured during a flood tide at EMEC
on the 22nd of November 2014 is used. The sample was selected on the basis of
it containing an energetic wave train and to investigate the unsteady hydrody-
namic response of the rotor. The waves, which originate from the North Sea, are
opposing the current. The free surface elevation (η) is measured at a fixed point
in space directly above the turbine nacelle. The η time history is shown over
250 s in Figure 11(a). The significant wave height from the sample is 4.2 m and
the maximum wave height observed is approximately 5 m with a wave period of
10 s. The wave steepness, defined as the product of wave amplitude and wave
number is approximately 0.17, indicating that the wave is weakly non-linear.
The power spectral density (S) of η, shown in Figure 11(b), confirms that the
energy contained within this wave group is centred around 0.095 Hz.
Streamwise (Ux) and depthwise (Uz) velocities are measured from 3 m above
the seabed to the SWL in 1 m increments at a sampling frequency of 0.5 Hz,
where d = 45 m, z0 = −27 m and the rotor operates at z ∈ −18,−36.
ADCPs are established instruments for providing robust depth profiles of
time-averaged velocity. Time-averages are derived from typically hundreds of
measurements in a given collection period, e.g. five minutes. Most of any
remaining error is dominated by long-term bias, which the manufacturer esti-
mates to not exceed 0.01 ms−1. Random error associated with individual sam-
ples varies by instrument configuration and is estimated at 0.05 ms−1 for this
measurement campaign [45]. Verification of the side-positioned D-ADP1 instru-
ment to provide representative inflow measurements was achieved by comparing
to a contemporaneously sampling single-beam profiler installed on the turbine
hub. This instrument measured flows directly in the streamwise direction at
hub-height sampling at 4 Hz. Good agreement was found, with a mean error
in streamwise velocity at hub-height of 1.4% between instruments. As shown
in Figure 1, the location of the D-ADP1 is approximately y = −40 m from the
hub of the rotor, which is deemed far enough away from the device to be mea-
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suring the freestream [22]. Thus, velocity readings incorporate the effects of
waves, turbulence and the shear profile, but not velocities induced by the wake
or the support structure of the turbine. Tower shadow effects due to the sup-
port structure are neglected in this study since our preliminary study showed
that the load amplitude caused was an order of magnitude less than that due
to waves approximately 3.6 m high with 7.7 s periods [46].
The time averaged Ux depth profile from 3 m above the bed (z = −42 m)
to the SWL is shown in Figure 12. The current velocity depth profile of Ux for
z ∈ {−18,−36} follows a power law with exponent 0.162, with a hub velocity
of 2.70 ms−1. The power spectral density of Ux is shown in Figure 13(a) for the
blade tip at z = −18 m, z0 = −27 m , and z0 = −36 m. The peak frequency in
the velocity spectrum at both z = −18 m and z = −27 m corresponds to the
0.095 Hz value found in the η spectrum. As the depth increases from z = −18 m
to z = −27 m, the energy peak associated with the wave decays by about 80%,
and at z = −36 m the value has decreased by roughly 95%. The power spectral
density of Uz is shown in Figure 13(b). As with Ux, the energy decreases with
increasing depth and has a peak centred at the wave frequency.
The fact that power spectral density of both Ux and Uz have peaks centred
around the peak wave frequency confirms that the waves recorded above the
turbine correlate well with the measurements taken at ca. y = −40 m away
from the hub.
7. Results
7.1. Power and thrust
The magnitude of Ux averaged over the swept area and the sample time pe-
riod of 256 s is 〈Ux〉 = 2.72 ms−1, while the mean of the square
√〈U2x〉 = 2.74 ms−1
and the mean of the cube 3
√〈U3x〉 = 2.77 ms−1. The latter velocity is used for
the steady simulation and to nondimensionalise forces, torque and power. The
operating parameters λ and βp, which yield a maximum CP in a steady current
with U0 = 2.77 ms
−1 are determined using the BEM model with static coef-
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ficients corrected for rotation. CP is simulated for λ ∈ {3, 6} in steps of 0.1,
combined with βp ∈ {−10◦, 10◦} in steps of 0.1◦. A peak CP = 0.47 was found
to occur for λ = 4.5 and βp = 0.1
◦, with CT = 0.81. All subsequent simulations
are carried out using these operating parameters.
Values for CP and CT for both steady and unsteady conditions are shown
in Figure 14 for ten rotational periods (Tr = 4.5 s). Unsteady fluctuations are
clearly dominated by the period of the wave, with no discernible contribution
from the rotational period. These fluctuations were found to exceed the steady
value by up to 48% and 25% for CP and CT , respectively. Comparing the mean
value of the unsteady time history with the value computed using a steady
uniform flow reveals a 3% decrease in both the mean power and the thrust
coefficients.
To investigate the reduction in the mean power coefficient, additional sim-
ulations were performed where we gradually simplified the model. Firstly, a
quasi-steady simulation was carried out without accounting for load hysteresis,
stall delay and dynamic stall, with the loads computed using static force coeffi-
cients from wind tunnel tests. This was further simplified by using linear force
coefficients, i.e. CL = 2pi(α− α0) and CD = 0. Finally, a steady simulation was
performed in an ideal, steady, uniform flow with U0 =
3
√〈U3x〉 = 2.77 ms−1. In
total we found a 7% reduction from this latter steady-ideal case to the fully
unsteady mean value shown in Figure 14(a). This 7% loss can be broken down
as follows: Firstly, the effect of an unsteady onset flow leads to a loss of 0.5%
because the turbine is operating at a constant rotational speed. Next, the pres-
ence of the drag and the non-linearity of the lift force due to the large excursion
in the angles of attack which lead to flow separation, accounts for a further 6%
reduction in the power coefficient. Finally, the unsteady effects (load hysteresis,
stall delay and dynamic stall) lead to an additional 0.5% reduction. Therefore,
we can conclude that unsteady phenomena has little effect on the mean values,
whose reduction in unsteady flow conditions is largely due to flow separation.
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7.2. Root and edgewise bending moments
Time histories for the blade root (CMy) and edgewise (CMx) bending mo-
ment coefficients are shown in Figures 15(a) and 15(b), respectively, for the
unsteady, steady and quasi-steady predictions. The mean unsteady predictions
for CMy and CMx are reduced by 4.5% and 3%, respectively, from the steady
value and the fluctuations were found to exceed these by 45% and 65%, respec-
tively. The unsteady and quasi-steady time histories have similar periodicity,
however, a phase lag and on the most part, an amplitude reduction from the
quasi-steady prediction occurs. The mean values predicted by the quasi-steady
model for both coefficients are within 1% of the unsteady mean, which suggests
that a quasi-steady assumption would be reasonable. However, it is important
to note that the difference between the standard deviations are 15% higher for
CMy and 5% for CMx. Thus the fatigue loads are moderately overpredicted
using a quasi-steady approximation.
It is evident that large waves such as those considered here lead to large un-
steady variations in the power, thrust and bending moment coefficients. How-
ever, there is little effect on the time averaged performance.
7.3. Time averaged sectional parameters
The time averaged axial (a¯) and tangential (a¯′) induction factors are shown
along the blade span in Figures 16(a) and 16(b). Observing the unsteady and
quasi-steady values, we find no discernible difference between them anywhere
along the blade. Comparing the unsteady and steady predictions, a visible
difference is evident inward from approximately 0.4R, towards the root of the
blade. In this region the steady value is larger for both factors. There is very
little difference in the factors at the outer blade sections towards the tip. Since
the majority of the power is generated near the blade tip, the observed differ-
ences in the mean unsteady CP , CT , CMx, and CMy from the steady state are
not fully accounted for by the differences in a¯ and a¯′.
Time averaged, sectional values for lift (C¯L), drag (C¯D), thrust (C¯T ) and
torque (C¯Q) coefficients are shown in Figures 17(a- d), respectively, for the
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steady, quasi-steady and unsteady predictions. The quasi-steady values are
determined using static wind tunnel data [35].
Inspecting Figure 17(a) the steady value of C¯L is greater at the outer sec-
tions, where the flow is attached and lower at the inner sections where separation
occurs, compared with the unsteady prediction. An increase in both the un-
steady and quasi-steady value of C¯D occurs near the blade root where the flow
is highly separated, which will be discussed in the following section. However,
from about 0.3R, C¯D follows the steady value. As a consequence of the differ-
ence in C¯L, the unsteady value of C¯T is reduced at the outer blade sections,
which compounded with the higher dynamic pressure and longer moment arm
at the tip, reduces the mean rotor thrust load. Likewise, unsteady C¯Q is less
from about 0.3R to R than in steady conditions, reducing the mean CP value.
7.4. Unsteady flow along the blade span
Time histories for f , α and CL are shown in Figure 18 at locations 0.15R,
0.4R and 0.96R on the blade. Near the tip (0.96R), the separation point is equal
to unity, indicating that no separation occurs. This is confirmed by the moder-
ate α fluctuations, which remain inside the attached flow region (-8◦ to 8◦). The
unsteady CL value is slightly below the quasi-steady value due to the shedding
of vorticity from the trailing-edge, which causes a phase lag and amplitude re-
duction. At the mid-section (0.4R) the flow remains attached under both steady
and unsteady conditions, however, moderate separation is evident for the quasi-
steady case. Although the peak unsteady α exceeds 8◦, the unsteady behaviour
reduces the adverse pressure gradient in the boundary layer, causing a delay in
separation from the quasi-steady value [47]. Near the blade root (0.15R), f is a
constant 0.7 under steady conditions. Here the unsteady mean value and ampli-
tude for f is less than the quasi-steady value, indicating that highly non-linear
phenomena are occurring. The α history shows that the oscillations are almost
completely outside of the linear region. The instantaneous CL computed with
the unsteady approach was up to 98% and 71% greater than that computed
with a quasi-steady and a steady approach, respectively. The large unsteady
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CL value is due to the formation and shedding of the leading-edge vortex.
Relationships between α, CL and CD are shown at the tip, mid-section and
root in Figure 19 over one wave period (10 s). These plots show the nature
of the hysteresis, which is mild at the tip where kr ≈ 0.02 when the flow is
attached, which increases towards the middle of the blade where kr ≈ 0.1. Load
hysteresis is not visible in CL, however, it is evident in CD. Moving toward the
root of the blade, the flow is highly unsteady (kr ≈ 0.3) and the hysteresis is
very distinct. This large increase in CL above the quasi-steady value is caused
by a vortex shedding from the leading-edge.
The build-up and transit of the leading-edge vortex as predicted by the
model is illustrated in Figure 20 for the blade root section (r = 0.15R). At
stage 1, α′ > αcr inducing leading-edge separation, and initialising the vortex
time parameter τ . At stage 2, α has increased causing a build-up in circulation
at the leading-edge. At stage 3, the circulation has built up into a concentrated
vortex which sheds and convects downstream resulting in a maximum vale of
CL when the vortex is directly above the centre of the foil, in addition a counter
circulation has forming at the trailing-edge. At stage 4, τ = Tv, and the leading
edge vortex passes the trailing edge and breaks down; concurrently the trailing
edge vortex sheds inducing full stall.
The location and duration of separation occurring on the blade is highly de-
pendent on unsteady and rotational effects. In Figure 21 the locations along the
blade where separation occurs are shown for (a) the rotational unsteady case,
(b) the non-rotating unsteady case and (c) the rotational quasi-steady predic-
tion. The contours represent the percentage of time that separation occurred.
For the unsteady rotational case separation is mostly restricted to the very root
of the blade where a minimum f ≈ 0.5 occurs roughly 10% of the time. Sig-
nificantly, full separation does not occur. For the unsteady non-rotating case
separation is also confined to root sections. However, the point of separation
moves closer to the leading edge almost fully separating. For the quasi-steady
prediction we observe that separation occurs over a greater portion of the blade,
albeit near the trailing edge.
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Since the flow is mostly attached over the blade, there is an overall amplitude
reduction from the quasi-steady lift value (Theodorsen’s theory). This explains
the reduced standard deviations for the root and edgewise bending moment
coefficients compared to the quasi-steady prediction (see Root and edgewise
bending moments, Section 7.2). The large overshoots occurring near the root,
where the flow is heavily separated has a negligible effect due to the short
moment arm, and lower relative velocity.
7.5. Sub-optimal operating conditions
The analysis so far has assumed that the optimal λ = 4.5 is always met.
However, in reality, it will be difficult for the rotor to always rotate at the opti-
mum speed to match the time dependent inflow. In this section we investigate
how the flow along the blade span and the root bending moment coefficient are
affected by a reduction in rotor speed. Two reductions are considered resulting
in values of λ = 4 and λ = 3.5, which have optimal pitch angles for maximum
CP of βp = 0.2
◦ and βp = 1.2◦, respectively. In Figures 22(a) and 22(b) the un-
steady and quasi-steady root bending moment predictions are shown for λ = 4
and λ = 3.5, respectively, over 10 periods of revolution. For λ = 4 we observe a
clear difference in the phase and peak values between the predictions. Here the
quasi-steady prediction was found to be as much as 30% below the unsteady
fluctuating value throughout the full time series. There is also a small 2% re-
duction in the quasi-steady mean value. For the λ = 3.5 case, the quasi-steady
prediction is very poor. A maximum difference of 80% from the unsteady value
occurs and the mean value is underpredicted by a significant 8%.
The quasi-steady prediction is poor at lower values of λ because the flow
around the blade undergoes large periods of separation. The separation location
and duration for the λ = 3.5 case is shown in Figure 23 for both the unsteady
(a) and the quasi-predictions (b). Clearly the flow is largely separated over
most of the blade span for the unsteady case, thus dynamic stall is occurring
at most span locations, moreover, the model predicts vortex shedding all the
way up from the root to 0.5R of the span. Because a large proportion of the
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blade is undergoing dynamic stall, unlike the optimum λ = 4.5 case, there is
a global effect which causes the peaks in CMy shown in Figure 22(b). For the
quasi-steady prediction separation occurs over almost the entire span, and at
some mid-span locations the flow is observed to be approximately two thirds
separated (f ≈ 0.33) for 10% of the time.
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8. Conclusions
A code based on simple models has been developed to study the unsteady
loads of tidal turbines. The code accounts for load hysteresis, dynamic stall,
leading-edge vortex shedding and rotational augmentation. The induction fac-
tors are computed with blade-element momentum theory, based on a running
average of the loads from the previous period of revolution. The code is freely
available for use and can be downloaded from our GitHub repository [18].
The onset flow conditions were determined using velocity measurements
made at the EMEC test site, where the mean current was 2.72 ms−1. The
waves have a characteristic height of approximately 5 m, steepness of 0.17 and a
dominant frequency of 0.095 Hz. We modelled an 18 m diameter axial-flow tur-
bine with the hub at a water depth of 27 m. In the first instance, we considered
the rotor to operate at a constant, optimal tip-speed ratio of 4.5.
We found that the unsteady loads are governed by the frequency of the waves,
and not by the rotational frequency of the turbine. At the outer blade sections,
the flow is attached and unsteady phenomena results in a reduction of the mean
sectional lift. Towards the mid-section, a delay in flow separation occurs. Near
the blade root, dynamic stall and leading-edge vortex shedding cause a twofold
increase of the sectional lift compared to the static value. Overall, fluctuations
in the root bending moment and power were found to exceed the steady values
by almost 50%.
The mean power and thrust, as well as the mean root and edgewise bending
moments, show a moderate reduction of less than 5% compared to the steady
state. This is largely due to flow separation. However, both the fact that the
rotor is operating at fixed rotational speed, and unsteady phenomena, occurring
near the tip, make a minor contribution. The extreme loads predicted near the
blade root caused by dynamic stall have little effect on the global thrust and
torque acting on the blade due to the short lever arm and lower relative flow
velocity compared to the outer sections. These results show that large waves
induce significant load fluctuations. However, there is little effect on the mean
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loads and performances of the turbine.
Non-linear unsteady effects on the computation of the induction factors are
small, and the difference with using a simple quasi-steady approach is negligible.
Similarly, the mean unsteady forces and bending moments computed with the
unsteady model are within ca. 1% of those predicted using a quasi-steady ap-
proximation. However, the standard deviation of the root and edgewise bending
moments are overpredicted by 15% and 5%, respectively. This is due to lift am-
plitude reduction (Theodorsen’s theory), which occurs under unsteady attached
flow conditions. Under these optimal operating conditions, a reasonable quasi-
steady approximation of the unsteady loadings can be achieved. These findings
agree with Galloway et al. [10] who determined that dynamic stall may be
neglected. However, reducing the rotor speed, such that the turbine operates
at sub-optimum tip-speed ratios, increases flow separation and dynamic stall
occurs over most of the blade. This concurs with the findings of Milne et al.
[7] who showed that dynamic stall can dominate the blade loading at lower tip-
speed ratios. At a tip-speed ratio of 3.5, the maximum root bending moment
coefficient was almost twice that predicted using a quasi-steady approximation.
Clearly, load fluctuations are significantly under-predicted by the quasi-steady
approach in this region.
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Figure 7: Process diagram of the coupled model.
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(a)
(b)
Figure 8: Power (a) and thrust (b) coefficient performance curves for a turbine operating in
steady conditions.
Figure 9: Lift coefficient as a function of angle of attack for static and dynamic conditions,
with and without the effect of rotation.
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Figure 10: Unsteady lift coefficient with angle of attack for the NREL S809 aerofoil for a
rotating and non-rotating aerofoil (reproduced from [44]).
(a)
(b)
Figure 11: Free surface elevation (a) time history and (b) power spectrum density.
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Range of rotor
Figure 12: Time averaged depth profile of the streamwise velocity.
(a) (b)
Figure 13: Power spectral density of (a) the streamwise velocity and (b) the vertical velocity
encountered at the minimum (z = −18 m), hub (z = −27 m) and maximum (z = −36 m)
depth ranges of the turbine blade.
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(a)
(b)
Figure 14: Comparison of (a) power coefficient and (b) thrust coefficient over 10 blade rota-
tions, showing the predicted unsteady time history, and corresponding mean value alongside
the steady state response.
(a)
(b)
Figure 15: Blade bending moment time histories for (a) root bending and (b) edgewise bending
shown over 5 blade rotations for steady, quasi-steady and unsteady predictions.
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(a)
(b)
Figure 16: Time averaged (a) axial and (b) tangential induction factors along the blade span
for steady, quasi-steady and unsteady predictions.
(a) (b)
(c) (d)
Figure 17: Comparison of mean (a) lift coefficient, (b) drag coefficient, (c) thrust coefficient
and (d) torque coefficient along the blade span for steady, quasi-steady and unsteady condi-
tions.
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r = 0.96R r = 0.40R r = 0.15R
Figure 18: Time histories for separation point, angle of attack and lift coefficient at blade
sections near the tip (r = 0.96R), mid-section (r = 0.40R) and root (r = 0.15R).
r = 0.40R r = 0.15Rr = 0.96R
Figure 19: Unsteady lift and drag coefficients with angle of attack for locations near the tip
(r = 0.96R), mid-section (r = 0.40R) and root (r = 0.15R) of the blade.
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(1)
(2)
(3)
(4)
Figure 20: Lift coefficient hysteresis near the blade root showing the stages of leading-edge
vortex formation and convection.
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(a) (b) (c)
Figure 21: Location and duration in percentage of separation occurring along the blade span
for (a) including unsteady and rotational, (b) only unsteady and (c) quasi-steady with rotation.
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(a)
(b)
Figure 22: Root bending moment coefficient for (a) tip-speed ratio λ = 4 and (b) λ = 3.5.
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(a) (b)
Figure 23: Location and duration in percentage of separation occurring along the blade span
for (a) unsteady and (b) quasi-steady predictions.
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